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Abstract

In this study, the feasibility of predicting surface integrity and residual stresses by using elasto-
viscoplastic finite element simulations and temperature-dependent flow softening constitutive mate-
rial modeling is investigated. A friction determination method is proposed to identify friction coef-
ficients in presence of tool flank wear. Serrated and cyclical chip formation has been simulated for
using tools with and without flank wear. The predicted residual stresses and surface integrity is
compared against experimental results from literature. Effect of friction on the residual stress pro-
files is also investigated. These results are highly essential in predicting machining induced micro-
structure alterations that are detrimental to fatigue life of nickel and titanium alloy components.

Introduction

Titanium and nickel alloys are difficult-to-machine materials with considerable manufacturing
problems such as machining induce surface integrity and residual stresses [1, 2]. Titanium and its
alloys are today used in many industries including aerospace, automotive and medical device. Spe-
cifically, Ti-6Al-4V alloy is the most suitable because it offers favorable mechanical characteristics
such as high strength-to-weight ratio, toughness, superb corrosion resistance and bio-compatibility.
Nickel-base super alloys are often used in mission critical components such as in aircraft/industrial
gas turbine engines. Particularly, IN718 nickel alloy is widely utilized and rated as extremely diffi-
cult due to the high toughness and work hardening behavior in which a work hardened layer forms
in response to the machining induced deformations on the subsurface [3].

When these critical structural components in industry are manufactured with the objective to reach
high reliability levels, surface integrity is one of the most relevant parameters used for evaluating
the quality of finish machined surfaces. The residual stresses and surface alteration (white etch layer
and depth of work hardening) induced by machining of Titanium alloys and Nickel-based alloys are
very critical due to safety and sustainability concerns [4]. There are many studies on the issue of
surface integrity of machined parts, and an extensive review of such studies has already been done
[4-6].

Recently, with the use of modified material behavior models and elasto-viscoplastic deformations
based Finite Element (FE) simulations have begun to offer solutions for a rich set of field variables,
providing much detailed insight for the chip formation processes in titanium alloys [7,8]. Elasto-
viscoplastic FE simulations can also enable realistic prediction of machining induced surface integ-
rity, residual stresses and optimization of tool micro-geometry and machining parameters without
running costly experimentation. However, most FE modeling approaches suffer from numerical
convergence in elasto-viscoplastic analysis (especially in 3D analysis), lack of reliable material
models to represent micromechanical and microstructural changes such as dynamic recrystallization
and phase transformation during chip formation and friction characteristics to simulate a realistic
chip formation process and accurate calculation of output variables such as strain, stress and tem-
perature distributions. In this paper, elasto-viscoplastic finite element simulations with newly de-
veloped material models are utilized to predict machining induced residual stresses on Ti-6Al-4V
titanium and IN718 nickel-based alloys.
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Temperature Dependent Flow Softening Material Models

Titanium Alloy Ti-6Al-4V. In machining titanium alloys, it is commonly known that plas-
tic instability and adiabatic shearing related chip serration occurs. The underlying cause of chip ser-
ration is often associated with adiabatic shearing. Recent studies have considered the effects of flow
softening and adiabatic shearing effect on the behavior of titanium Ti-6Al-4V alloy at high strains.
Flow softening phenomenon can be described as offering less resistance to local plastic defor-
mations due to rearrangement of dislocations caused by subsequent cycling or dynamic recrystalli-
zation in the material. This phenomenon is usually observed during an increase in strain beyond a
critical strain value together with a rapid rise in material’s temperature. Flow softening is believed
to cause adiabatic shearing within the primary shear zone and chip segmentation with shear bands
are formed as the deformed material leaves this zone [8]. For this reason, modified material consti-
tutive models with flow softening resulting from strain softening and temperature softening are
sought in literature. By developing such a modified Johnson-Cook (JC) constitutive model and im-
plementing it into Finite Element software, Forge-2D by Calamaz et al. [7] and Deform-2D by Sima
and Ozel [8] were able to simulate serrated chip formation in machining of titanium alloy Ti-6Al-
4V. In the modified JC material model given in Eq. (1), the influence of strain, strain rate, tempera-
ture and temperature dependent strain softening on the flow stress is defined by four multiplicative
terms.

o=[a+Be ()|t +onZ][1- (5 P+ a-p[am(GHT o
where D =1 — (%)d, p= (%) , 6 1s flow stress, € is true strain, € is true strain rate, g is refer-

ence true strain, and T, Ty, Ty are work, material melting and ambient temperatures respectively.
The experimental flow stress data by Lee and Lin [9] has been taken as the base for this modified
material model. The most optimum set of model parameters that was identified with inverse analy-
sis are; A=724.7 MPa, B=683.1 MPa, n=0.47, C=0.035, m=1.0, Tm=1604°C, a=2, s=0.05, r=2,
d=1, b=5. The details of this methodology are outlined by Sima and Ozel [8] and flow stress curves
are given in Fig.1.
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Fig. 1: Modified flow stress curves for Ti-6Al-4V versus the JC model by Lee and Lin [9].

Nickel Based Alloy IN718. On the other hand, dynamic material behavior data for Inconel
718 do not appear in the published literature with a very few exceptions. Zhang et al. [10] investi-
gated strain-rate sensitivity of IN718 at high temperatures and presented compressmn test results at
temperatures from 960 to 1040°C, with strain rates from 0.001 to 1.0 s. One of the revealing re.
sults of that study was the flow softening behavior of the flow stress curve at strain rate of 1.0 s™
and temperature of 980°C above the strain value of 0.3. DeMange et al. [11] have studied high
strain rate compressmn behavior of IN718 under annealed and aged conditions at strain rate ranges
of 1796-3506 s™ for annealed and 1681-4581 s for aged IN718 material. Flow stress curves of the
annealed material exhibited strong strain hardening at all strains, but the curves of the aged material
showed sharp softening effect around a strain value of 0.1 and remained constant after strain value
of 0.25. Pereiera and Lerch [12] referred to that data and suggested the JC constitutive model with-
out considering thermal softening effects (A= 1350 MPa, B= 1139 MPa, n= 0.6522, C= 0.0134) for
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aged IN718 material. Uhlmann et al. [13] also utilized the Johnson-Cook material model to simulate
cutting of annealed IN718 and used model parameters proposed by Sievert et al. [14] and Olschew-
ski et al. [15]. These parameters (A=450 MPa, B=1700 MPa, C=0.017, n=0.65, m=1.3) for annealed
IN718 material included a thermal softening exponent as well. However Lorentzon et al. [16] used
the JC model parameters A, B, C, n from Mitrofanov et al. [17] and m=1.3 from [14] and [15] for
aged IN718 material. Modified JC material model is considered to represent temperature dependent
flow softening behavior of IN718 nickel based alloy since flow softening phenomenon is also re-
ported for it [10-12]. Hence, modified material model given in Eq. (1) was employed for IN718 ma-
terial to include the temperature-dependent flow softening effect in addition to strain and strain rate
hardening and thermal softening. The model parameters for IN718 are identified as A= 1350 MPa,
B= 650 MPa, n=0.6522, C=0.0134, m = 1.3, a=4, d=0.1, b=2, r=1, s=0.01 and melting temperature
is taken as T,,=1297 °C. The flow stress curves are given in Fig.2.
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Fig. 2: Modified flow stress curves for IN718 versus the JC model by Lorentzon et al. [16].

Region 2: Edge Face
region Flank Face

Fig. 3: Illustration of stress distributions along the round edge tool faces.

A Friction Determination Model for Round Edge Cutting Tools

A friction model for the round edge tool is developed. The goal is to obtain a universal friction
model so that the rake and flank face friction coefficients can be determined in the presence of tool
flank wear. For this purpose, the tool-workpiece/chip interface was divided into three regions (see
Fig. 3). Tool and workpiece were considered to have full contact on the edge face, where the work-
piece faces shearing. In this region, slip conditions of friction are assumed. From the rake end of the
circular region (x;=0) to the end of the tool/chip contact (x;=/;), tool and workpiece were considered
to have slip and slide friction conditions. From the flank end of the circular region (x,=0) to the end
of the wear length (x,=/>), the tool is assumed to have only sliding friction conditions. The sliding
friction coefficients at the rake and flank faces are calculated using the procedure described below,
in order to be employed in FE modeling. When there is no flank wear (fresh/new tool), it is assumed
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that the tool only has two regions of applied normal and shear stress, rake and edge faces. The forc-
es on these regions are calculated as described below, and the components in cutting and feed direc-
tions are summed up in order to calculate the total force in both directions.

To start the procedure, five unknown variables are searched within acceptable intervals: rake and
flank face friction (u; and o, respectively), tool-chip contact length on the rake region (/.), maxi-
mum normal stress on the rake region (Gn1 max), and the maximum normal stress on the flank region
(on3.max)- The normal and tangential components of forces in all three regions are calculated and
converted to cutting (F.) and feed (F)) force components, which are then summed up to result in the
total cutting and feed forces:

F.= Fnl,c + Ftl,c + FnZ,c + FtZ,c + Fn3,c + Ft3,c (2)
Fr=Fpp+Fopt+FptFopt+ Fusp+ Fear (3)
Here, in the first region, normal stress is assumed to have a polynomial distribution:

— x\"
On1 = On1,max (1 - Z) (4)

When integrated from x,=0 to x;=I., the normal component of the force in this region is found to be:

)

There are two different types of friction in this region. The sticking friction brings plastic shear
conditions, which equals to tr 5. After a certain amount of plastic contact, the chip starts to slide on
the tool, which brings elastic shear conditions. Here, the shear stress is related to the normal stress
by the equation:

F.. =0 <
ni nimax 4

Tf1,el(x1) = U10p1(X1) (6)
So, the plastic shear stress can be found as:

1 n
Tr1,p1 = U10n1,max (1 - ﬁ) (7

Then, after integrating the shear stresses from x;,=0 to x,=/., the total tangential force in this region
can be found as:

Ftl = .ulo-nl,maxlp (1 - ll_i)n + U101, max (l_c) (1 - l_p)n+1 (8)

n+1 le

In the second region, the normal and shear stresses are assumed to be linearly changing throughout
the angular profile (Fig. 4). The normal stresses start from Gy,; max at 6=-y;, and decrease linearly to
On3.max at O=1/2+y, (Fig. 5). If the tool is unworn, Gu3 max is assumed to be zero. Hence, the normal
stress distribution in the second region can be written as:
_ (o'ns,max_o'nl,max)a n Vlo'ns,max‘l'(g"'YZ)Unl,max

O-nz - T i3
STV1ty2 FTV1ty2

©)

Fig. 4: Edge face illustration.

The shear stress, on the other hand, starts from 7t at 0=-y;, and decrease linearly to T3 max at
0=n/2+y, (Fig. 6).
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Gn max
—
\
8= 0= 12+,
Fig. 5: Normal stresses on the face of the round edge.
T
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Fig. 6: Shear stresses on the face of the round edge.

The shear stress at 0=m/2+vy, is assumed to be zero, when the tool is unworn. If the tool is worn, this

stress is assumed to be at the opposite direction of rake face shear stress, causing a stagnation point

at the edge face. When the tool is unworn, the stagnation point is assumed to be at 6=n/2+y,. There-

fore, the shear stress distribution in the second region can be written as:
(Tfs,max‘l'ffl,pl)e VleS,max_(g"'Vz)Tfl,pl

B %+V1+V2 B §+V1+V2

(10)

sz =

From these normal and shear stresses, the components of forces in the second region in cutting and
feed directions can be found. The forces in the third region can be found similarly to the first region,
except here, there is no sticking condition assumed. After all the forces are calculated, they are
summed up in cutting and feed directions, and compared to the test data of Wyen and Wegener
[18]. The searched variables are optimized according to the measured data, and according to this
search, the friction coefficient values that resulted in the minimum difference between the measured
and calculated forces were accepted as the Coulomb friction coefficients in corresponding regions.
After comparing the results with the measurements of Wyen and Wegener [18], the normalized
non-linear relationships between the two friction coefficients (rake face, p; and flank face p,) and
cutting velocity (v.), feed rate (#,), and cutting edge radius () were found to be:

w = a;(ve) + bi(ty) + ¢i(rg) + di(vety) + ei(verg) + fi(turg) + gi(vetyrp) + by (11)

where the coefficients are given in Table 1.

a | b Cc d e f | g | h
u; |-0.08[-0.12} 0.5 10.01]0.02{-0.03/0.010.66
w 10.04(0.121-0.17}-0.03/-0.03/ 0.08 |-0.02| 1
Table 1: Coefficients of the non-linear relationships for rake and flank face friction coefficients

As also depicted by the coefficients of the equations, it was found that rake face friction coefficient
(n1) decreases when the feed rate is increased, increases significantly when the cutting edge radius
is increased, and decreases slightly when the cutting speed is increased, with the non-linear terms
being insignificant compared to the linear terms. On the other hand, the flank face friction coeffi-
cient (u) increases slightly with increasing feed rate, does not change significantly with the cutting
speed, and decreases significantly with increasing cutting edge radius at lower feed rates (0.06 mm)
but decreases only slightly with increasing cutting edge radius at higher feed rates (0.2 mm). This is
reflected on the non-linear term that includes the feed rate and the cutting edge radius (f>) being
considerably higher than the other coefficients when normalized. This formula (Eq. (11)) can be
assumed to represent the interval where v. =10-110 m/min, #,=0.06-0.2 mm, 75=10-50 um, since the
measured data used covers this interval. This formula can then be utilized to find the coefficients of
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friction at the rake and flank faces at v. =55 m/min and v.= 90 m/min, #,=0.15 mm, r5=30 um. The-
se coefficients of friction are inserted into the calculations of cutting forces to estimate the applied
forces during machining, as well as the stresses, strains, and temperature field on the tool, leading to
other significant results. When the values are calculated, forces in the cutting and feed directions are
found as shown in Table 2, as well as the friction coefficients in both rake and flank faces. There-
fore, the friction coefficients solved for Ti-6Al-4V alloy are utilized in FE simulations.

Table 2: Coefficients of friction and forces at £,=0.15 mm and z=30um.

Ve G'1,max G3 max Fc Ff
[m/min] M H2 [MPa] [MPa] [N] [N]
55 no flank 0.6011 0 974 0 657 349
90 no flank 0.5904 0 988 0 667 349
55 flank 0.6011 0.505 974 6.08 727 502
90 flank 0.5904 0.4882 988 592 747 526

Finite Element Modeling

In this study, finite element (FE) simulations are also developed using updated Lagrangian software
(DEFORM-2D) in which chip separation from workpiece is achieved with continuous remeshing.
Throughout this study, only coupled thermo elasto-viscoplastic finite element simulations are con-
sidered. These elasto-viscoplastic simulations included a workpiece as elasto-viscoplastic with a
mesh containing 10000 quadrilateral elements with element size ranging from 2 pum to 60 um. Un-
coated carbide (WC/Co) tool is modeled as rigid with a mesh containing into 2500 elements. A high
density mesh in the primary deformation zone was applied. A rake angle of y;=6°, a flank/clearance
angle of y,=7°, and edge radius of 74=30 um for tool are employed in the tool geometry. Thermal
boundary conditions are defined accordingly in order to allow heat transfer from workpiece to the
cutting tool. The heat conduction coefficient (A1) is taken as 10° kWm™ K™ to allow rapid tempera-
ture rise in the tool. Mechanical and thermo-physical properties of titanium Ti-6Al-4V alloy and
IN718 nickel alloy are defined as temperature-dependent (7 in °C). Temperature -dependent modu-
lus of elasticity (£ in MPa), thermal expansion (a in mm.mm™'.°C™), thermal conductivity (A in
W.m™".°C™), and heat capacity (c, in N.mm™. °C™") are given in Table 3.

As explained in the friction determination model, friction around the tool faces is sophisticated
when round edge inserts are employed. At the rake face, friction factor decreases with increasing
ratio of uncut chip thickness (#,) to edge radius (rg) and increasing cutting speed (v.). Similarly in
the FE model, three contact regions around the round edge of the tool with the workpiece are con-
sidered: (1) a sticking contact around the round edge curvature (z=k or m=t¢/k=1 where k is the
work material shear flow stress), (i1) along the rake face; a shear friction contact (m=0.9) and a slid-
ing friction contact (z) along the rest of the tool-chip interface, and (iii) a sliding friction contact
along the flank face (1). Along rake face, shear friction and sliding friction regions are employed
by using the hybrid friction capability in DEFORM-2D software. The cutting conditions and the
friction coefficients employed in FE simulations are given in Table 4. The results of the FE simula-
tions are summarized in Table 5. Average cutting (£.) and feed/thrust (/) forces are predicted in a
range (€.8. Fe-valley - Fe-pear) and average chip thickness (Zc..v) along with chip compression ratios
(CCR) are given. Maximum work temperature (7,) is also given. The influence of flank face fric-
tion coefficient in the presence of flank wear is also shown. The effects of flank wear on predicted
chip formation and temperatures are given in Fig. 7.

Table 3: Properties of work and tool materials.
Ti-6Al-4V IN718 WC/Co
E(7)]0.7412*T+113375/-61000*T+278000|5.6* 10
o(7) [3.107%T+7.10° 107%™ %7 4.7%10°
A(T) [7.039%e 1T 110.409%e 77T |55
cp(T)2.24%¢ "7 1418.63%¢"™ T 10.0005%T+2.07
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Table 4: Cutting conditions and friction used.
Ti-6Al-4V titanium alloy IN718 nickel-based alloy
v [m/min] 55 90 55 90
t, [mm] 0.15 0.15 0.15 0.15
VB [mm] 0.14 0.14 0.24 0.24
1 0.6 0.6 0.6 0.6
1, 0.4,0.5,0.6 0.4,0.5,0.6 0.4,0.5,0.6 0.4,0.5,0.6
Table 5: Summary of the FE simulation results
Simulation ave. F,(range) ave. Fy (range) te-ave [MM] CCR T,[°C]
unworn 264(230-298) 127(114-140) 0.185 0.144 651
3w § 1,=0.4 244(214-275) 109( 99-119) 0.160 0.163 639
=" g w05 249(218-280) 109(100-118) 0.159 0.157 632
16=0.6 251(222-281) 111(102-120) 0.160 0.156 641
unworn 256(219-292) 117(103-130) 0.184 0.166 721
é g 1,=0.4 251(219-282) 114(103-125) 0.162 0.198 682
= g|w=0.5 242(211-273) 104( 97-112) 0.157 0.172 724
1,=0.6 247(218-276) 107(100-115) 0.156 0.163 749
o |unworn 341(321-361) 162(149-174) 0.226 0.039 621
é S 1,=0.4 334(316-351) 203(192-214) 0.192 0.048 608
‘g ﬁ 1,=0.5 348(329-368) 218(207-228) 0.192 0.026 621
o |1=0.6 365(345-386) 227(216-238) 0.191 0.031 633
unworn 333(305-361) 167(152-182) 0.226 0.052 639
® g 1,=0.4 332(312-352) 205(194-216) 0.187 0.068 703
Z % & lw=05 350(330-369) 213(202-224) 0.189 0.044 682
B 1,=0.6 370(353-387) 232(222-241) 0.184 0.025 716

No flank wear

Flank wear
VB=0.14mm
T V=55m/min

No flank wear
90 m/min

Flank wear
VB=0.14mm
V=90 m/min

Noflank wear
V=90 m/min

Flank wear

Fig.7: Effect of flank wear on temperatures after turning Ti-Al6-4V (left) and IN718 (right).
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Machining Induced Surface Integrity

After machining processes, the workpiece material is released of the thermomechanical load, the
stresses that remain in the material after the loading is removed are called residual stresses. They
are considered to be due to mainly machining induced plastic deformation in the subsurface of the
workpiece material and thermal effects at the surface due to tool wear and friction. The residual
stresses are more tensile at the surface of the workpiece and become compressive as the depth of the
workpiece increases to around 50 pm. Then, after approximately 300 pm, the residual stresses di-
minish. The layer that exhibits tensile residual stresses can be related to white layer formation and
the compressive residual stresses after 50 pm can be related to dark layer formation [1-6]. It is the
general observance that an increase in feed rate makes the residual stresses more tensile at the sur-
face and more compressive in the peak compressive depth, especially at higher cutting speeds,
where the peak residual stresses might become less compressive with increasing feed in lower cut-
ting speeds [1-6]. In the presence of tool flank wear the residual stress profiles change and become
more tensile. The effects of flank wear on residual stress (in axial direction) are investigated by
Chen et al. [19] for Ti-6Al-4V (see Fig. 8) and Sharman et al. [20] for IN718 (see Fig. 8). Circum-
ferential stresses (in the direction of cutting velocity vector) are mainly compressive on the ma-
chined surface when using a fresh unworn tool. However, circumferential stresses turn tensile when
cutting with a worn tool or in presence of tool flank contact. This is consistent with the residual
stress predictions for machining both Ti-6Al-4V titanium alloy and IN718 nickel alloy as it is
shown in Figs. 9 and 10. In addition, prediction of circumferential stress fields is not influenced by
friction coefficient in the flank wear land in FE simulations. Influence of cutting speed on the cir-

cumferential stresses can also be considered insignificant.
1200

. 1004 fo— 1000 New tool ——{=0.15: Feed direction
S mv P 800 —m—f=0.15: Cutting direction
= 0 © i — —— —f=0.25: Feed direction
= .:0.2 mm flank wear length g 600 Pirriuharsiiup
-0--f=025: ing direction
8 -100 ~ B Ml i
T -200 7
§ ”\L/‘/i/‘ 03 mm flank wear length g
2 -300 3
17
© g
40020 40 60 80 100 120| 1000 —+—1=0.15: Food drecton
Depth beneath machined surface (um) 500 Worn tool = =0.15 : Cutting direction

600 —o—f=0.25: Feed direction
—0—f =0.25 : Cutting direction

(up) Ti-6Al-4V atv.=320 m/min,
f=0.1 mm/rev, DoC=1mm [19]
(right) IN-718 at v, =40 m/min,
DoC=0.25 mm [20]

Residual stress (MPa)

0 100 200 300 400 500 600

Depth (microns)

Fig. 8: Residual stresses measured in after turning of Ti-6AL-4V and IN718.

FE simulation predictions in machining Ti-6Al-4V alloy indicated that axial stresses (in the direc-
tion of feed/thrust force) are mainly very small or compressive on the machined surface and turn
tensile until about 50 um depth beneath the surface and become compressive into the depth of ma-
chined surface as shown in Fig. 9. Increased cutting speed from 55 to 90 m/min tends to make the
residual stresses more compressive and friction coefficient on the flank wear land tends to affect
axial stress moderately.

In machining IN718 nickel alloy, unworn tool remains mostly tensile whereas worn tool induces
compressive residual stresses. Increasing cutting speed makes axial stress more tensile when using
unworn fresh tool as shown in Fig. 10. Effect of tool flank friction coefficient on predicted residual
stresses is also apparent. These simulation results show similar patterns with the experimental ones
reported in [19] and [20]. Further experimental validations of these predictions are required and left
as future work.
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Conclusions

In this study, FE simulations to predict machining induced residual stresses in Ti-6Al-4V titanium
and IN718 nickel alloys using modified material constitutive models and elastic-viscoplastic finite
element formulation are investigated. Adiabatic shearing based simulation of serrated chips is ac-
complished. Friction analysis is utilized to determine the friction coefficients on tool rake and flank
faces and influence of friction coefficient on predicted residual stress profiles is explored. It is con-
cluded that predicted residual stresses are influenced by the tool flank wear as they become more
compressive in machining of IN718 nickel alloy.
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Fig. 9: Effect of friction at flank wear land on residual stresses after turning Ti-Al6-4V.
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Fig. 10: Effect of friction at flank wear land on residual stresses after turning IN718.
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